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Abstract
In the vast majority of measured turbomachinery blade flutter occurrences, the
response occurs predominately in a single mode. The primary reason for this single‐mode
flutter is that for turbomachinery applications the combination of high mass ratio, high
solidity, and large natural frequency separation results in only slight mode coupling.
The increased importance of fuel efficiency is driving the development of improved
turbofans and open‐rotor fans. These new designs use fewer blades and incorporate
composite materials or hollowed airfoils in their fan blade designs. Both of these design
changes result in lower mass ratio, lower solidity fan blades that may cause multi‐mode
flutter, rather than single‐mode flutter as seen on traditional fan blades.

Thus, a single

mode flutter design analysis technique may not be adequate. The purpose of this study is to
determine initial guidelines for deciding when a coupled‐mode analysis is necessary.
The results of this research indicate that mass ratio, frequency separation, and
solidity have an effect on critical rotor speed. Further, guidelines were developed for when a
multi‐mode flutter analysis is required. These guidelines define a critical mass ratio that is a
function of frequency separation and solidity. For blade mass ratios lower than this critical
value, a multi‐mode flutter analysis is required. Finally, the limitations of aerodynamic strip‐
theory have been revealed in a three‐dimensional coupled‐mode flutter analysis.
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Chapter 1: Introduction and Motivation
In modern turbomachinery design there are three main aeromechanical design
considerations. The first is flutter, a self‐excited aeroelastic instability in which
aerodynamic forces on the blade are due to the blade motion itself. The second design
consideration is forced response. Forced response vibrations are typically due to
aerodynamic excitations that originate upstream or downstream and interact with the
passing vanes at integer multiples of the rotation frequency. The third design
consideration is asynchronous vibration which occurs when aerodynamic instabilities
cause excitation of the airfoils. Though each of these three areas is a major design
consideration in turbomachinery, this research effort solely investigates the self‐excited
aeroelastic instability, flutter.
In the vast majority of measured turbomachinery blade flutter occurrences, the
response occurs predominately in a single mode. That is, the flutter frequency is very
near one of the structural natural mode frequencies, and the aeroelastic mode shape is
nearly identical to a structural mode shape. The primary reason for this single‐mode
flutter is that for turbomachinery applications, the combination of high mass ratio (ratio
of structural and aerodynamic masses), high solidity (measure of blade‐to‐blade
spacing) and large natural frequency separation results in only slight mode coupling.
Also, it is well known that flutter in wings, propellers, and helicopter blades commonly
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occurs as the coupling of two or more modes. These blade types have much lower mass
ratios and solidities than traditional turbomachinery blades.
The increased importance of fuel efficiency is driving the development of
improved turbofans and open‐rotor fans. Industry and governmental agencies are
keenly aware of the rising cost of fuel and the environmental impact of an engineʹs
carbon dioxide emissions. Next generation engines will incorporate composite materials
or hollowed blades in their fan designs, resulting in lower mass ratio, lower solidity fan
blades. These changes improve efficiency and lower emissions by reducing the overall
weight of the engine. However, new blades may suffer from multi‐mode flutter rather
than the single‐mode flutter seen on traditional fan blades because of their low mass
ratio and low solidity. Thus, current single‐mode flutter‐design analysis technique is
expected to become inadequate.
Open‐rotor engines are not new to aviation. Due to world fuel shortages in the
1980’s, industry became interested in the development of a more fuel efficient jet engine.
For example, General Electric Aviation developed an un‐ducted fan for the GE‐36
engine. The un‐ducted design had an open rotor fan placed aft of the core of the engine,
and made from two rows of counter‐rotating blades. The GE‐36 un‐ducted fan offered
significant fuel savings by introducing a new carbon‐fiber technology for the fan blades
which greatly reduced the overall weight of the engine. Similarly, Pratt and Whitney /
Allison developed the 578‐DX engine which had many of the same features as the GE‐36
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un‐ducted fan. Structurally and aerodynamically these open‐rotor designs were
radically different from the traditional propeller or modern turbo fan and therefore
offered new design challenges. Ultimately, both of these projects were put on hold when
the price of fuel dropped. Today we are seeing a resurgence of interest in open rotor
technology as the price of fuel reaches new heights.
Open rotor technology is of particular interest today because the technology
offers significant fuel savings. Compared to current standards, open‐rotor engines have
the potential to offer more than 30% improved fuel burn, reducing greenhouse gasses,
and decreasing the fuel operating cost. These potential fuel savings comes from the
weight savings inherent with a ductless fan and composite material selection. Also, the
open‐rotor fan offers significantly higher bypass ratios than traditional advanced
Turbofans, improving overall performance. However, open rotor technology introduces
many problem areas including aeroacoustics, aeroelastics, reliability, and cost. This
research addresses only the aeroelastic problem area.
Historically, the open rotor engine has undergone extensive performance
experimentation. In the late 1980’s, Ducharme and Crawley experimentally investigated
the aeroelastic behavior of the un‐ducted fan using sub‐velocity, scaled testing
(Reference 7). During the investigation, they observed coalescence type flutter for their
scaled, sub‐velocity model which compared favorably with full‐velocity scaled results.
To computationally model this phenomenon, LINSUB aerodynamic theory was used to
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calculate the two‐dimensional aerodynamics, which were then integrated out the span
of the blade using strip theory (Reference 15).
One of the blades from Ducharme’s report was particularly relevant. The M4F1
blade was a scaled sub‐velocity blade that was experimentally shown to flutter due to
mode coalescence. The report contained both experimental data and analytical
modeling. Therefore, the M4F1 blade was used as a benchmark for analytical code
development in both two and three dimensions.
Finally, since current single‐mode flutter‐design analysis technique is expected to
become inadequate, a tool is needed for determining when single or multi‐mode flutter
analysis is required. Single mode flutter analysis is computationally less expensive and
is therefore preferred, when appropriate. Therefore, the development of a coupled‐mode
flutter screening tool has become important to industry as they embark on
contemporary fan design like the open‐rotor engine.

1.1 Overview
The subsequent sections of this report will discuss numerical methods and
techniques for predicting coupled‐mode flutter in turbomachinery fans. Chapter 2
discusses the development of a two‐degree‐of‐freedom, typical‐section model of
coupled‐mode fan flutter. This model is applied to the experimental results of Crawley
& Ducharme as a means of code calibration and verification. This two‐degree‐of‐
freedom model is then used to study the effects of solidity, mass ratio, and frequency
4

separation on multi‐mode flutter.

Single mode flutter is forced by eliminating the

aerodynamic coupling terms. By comparing the flutter reduced velocities with and
without aerodynamic coupling, the parameter combinations resulting in predominately
single mode behavior are identified. In Chapter 3, the two‐dimensional flutter model
presented in Chapter 2 is expanded into three dimensions using three‐dimensional
mode‐shape information and aerodynamic strip theory (Reference 1). The model then
compares the experimental and analytical results of Ducharme and Crawley as a means
of code verification and code calibration. Chapter 4 presents a summary with general
conclusions and proposes future research on coupled‐mode fan flutter.

5

Chapter 2: Two-Dimensional Modeling of Coupled-Mode
Flutter
As a first‐step at modeling coupled‐mode fan flutter, a two‐dimensional code
was developed. The two‐dimensional code uses simplified aerodynamics and a
simplified structural model to describe the problem. The code was given the name
COMODE2DPK.

2.1 Two-Dimensional Structural Modeling
A classical typical‐section (Figure 1) model for a two‐dimensional cascade of
airfoils is used to model the structural dynamics of the system (Reference 4).

In

historical cases, the two degrees of freedom are mass coupled and aerodynamically
coupled. However, the cases in this paper do not include any mass coupling as the
mode shapes are orthonormalized and are obtained from Finite Element Analysis.

Figure 1: Typical Section Structural Model
6

The equations of motion for a 2 degree of freedom, flat‐plate airfoil can be
derived as:
0

(1)

0
By defining the following parameters:

(2)
(3)
The equations of motion become:
1

0

(4)

0

By expanding the unsteady aerodynamic forces as functions of displacement,
velocity and acceleration, the equations of motion can be written as an eigenvalue
problem.
Assuming Simple harmonic motion:
and
therefore,
0
where the

,

,

&

(5)

matrices are mass, damping, and stiffness matrices,

defined in section 2.2.
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Once the eigenvalue problem is defined, the aerodynamics matrices must be
populated. To populate these matrices, LINSUB Aerodynamics is used. The two‐
dimensional aerodynamic model is described in the next section of this report.

2.2 Two-Dimensional Aerodynamic Modeling
For the present studies, Whitehead’s (Reference 15) 2D, linear, flat plate,
subsonic, unsteady, aerodynamic theory is used (LINSUB).

The resulting unsteady

aerodynamic matrices are:
0

(6)
2
4
0
0

where

,

,

4
8

(7)

(8)

2
, and

are the mass, damping and stiffness matrices.

These mass, damping, and stiffness matrices are then input to the eigenvalue
problem (Equation 5). The remaining unknown is the aeroelastic frequency. To solve for
the final unknown, an iterative approach is used. This approach is called the p‐k
method, and is described in the section 2.2.1.

2.2.1 p-k Iterative Method:
The aeroelastic frequency for these problems is complex and can be broken down
into its real and imaginary components as follows:
(9)
8

Since the unsteady aerodynamic lift (Cfh, Cfα) and moment coefficients (Cmh, Cmα)
are functions of frequency, the iterative p‐k method (Reference 9) is used to solve the
eigenvalue problem. In a p‐k method, the aeroelastic frequency is estimated, and the
eigenvalues are found. Using these eigenvalues, a new frequency is determined,
followed by a new set of eigenvalues. The convergence of the p‐k method is quite rapid
and yields accurate aeroelastic frequencies. Throughout the course of this investigation,
it was found that fewer than five iterations are usually needed for p‐k convergence. For
exceptional cases, 10 iterations were needed.

2.3 Method Development and Code Validation |COMODE2DPK
2.3.1 Ducharme and Crawley – MIT GTL Report No. 191
To calibrate and validate the method, a case from Ducharme and Crawley
(Reference 7) was chosen. The blades, known as M4F1, were experimentally shown to
have coalescence flutter between the first, second, and third modes, and are therefore a
good candidate for the development of a flutter‐prediction code. This code,
COMODE2DPK, was developed using the M4F1 blades and subsequently used for
solidity, mass‐ratio, and frequency separation studies. The M4F1 blades were a scaled
version of a full scale design. The blades were length and stiffness scaled such that all
parameters were matched except for Mach number and Reynolds number.

For

example, the M4F1 blades flutter at a tip relative Mach number near 0.3; the full scale tip
Mach number is significantly higher. Figure 2 is an experimental Campbell Diagram of
9

the M4F1 blade. It shows clear mode‐coalescence between modes 1 & 2, with a
significant influence from mode 3. The flutter point shows the aeroelastic frequency to
be between the in vacuum first and second modes (135 hz) and occurred at a rotational
speed of 48 hz.
Because the described method is a two‐dimensional method, a cross‐section was
chosen as a representative section of the airfoil. Eighty percent span was chosen because
information about this span was readily available in the Ducharme/Crawley report
(Reference 7). In addition, the 7/8 span or 3/4 span is historically used as a representative
cross‐section of airfoils. Like the structure, the mode shapes had to be represented in
two‐dimensions. To achieve this, the two‐dimensional elastic axis location (see Figure 1)
was chosen so that the flutter boundary closely matched the experimental findings.
Figure 3 shows the first flex (1F), second flex (2F), and first torsion (1T) non‐rotating
modes for the M4F1 Blade.
In COMODE2DPK, the first mode is assumed to be a pure plunging mode. Since
a two‐dimensional analytical method was used on a three‐dimensional blade, the second
mode (second bending) elastic axis needs to be calibrated. To determine the elastic axis
location, a study of reduced velocity and elastic axis location was conducted. The
reference reduced velocity is defined as follows:
(10)
where

is the in‐vacuum second mode frequency.
10

Figure 2: Experimental Campbell Diagram for the M4F1 Blade (MIT)

Figure 3: Mode Shape Contours for the M4F1 Blade (MIT)
11

For a fixed rotor speed (experimentally shown to flutter) a stability boundary
was found as a function of elastic axis location and reduced velocity (Figure 4). The
experimental reduced velocity was near 3.0, yielding a calibrated elastic axis location of
a = ‐0.25. Therefore, as defined in the typical‐section structural model (Figure 1), the
representative two dimensional elastic axis location was determined to be at the 3/8
chord. The Campbell diagram shown in Figure 2 demonstrates activity in the region
between modes 2 and 3. One possible explanation is that the flutter mode has significant
contributions from all of the first three modes. If so, the second mode in COMODE2DPK
is calibrated such that it is representing both the 2nd and 3rd modes. This calibrated
elastic axis location has been used for the remainder of the two‐dimensional studies in
this report.

Figure 4: Determining the Elastic Axis Location for the M4F1 Blade (MIT)
12

As described thus far, the mode 1 and 2 frequencies (in vacuum), reduced
velocity ( ), and Mach number (M) are functions of the rotor speed. A constant advance
ratio (J) of 0.8 was maintained. The fixed parameters are: xα=0.0, rα=0.64, a=‐0.25, ξ = 58
degrees.

In addition, interblade phase angles (β) from 0.0 to 315.0 degrees were

considered in increments of 45.0 degrees. The remaining parameters were varied.
The aeroelastic eigenvalues and eigenvectors are calculated at each interblade
phase angle. Because the M4F1 fan had 8 blades, 45‐degree increments of interblade
phase angle were important for analysis. In each case, the flutter boundary was defined
as the lowest rotor speed at which there was a negative value of critical damping ratio
for any interblade phase angle.
Figure 5 displays the experimental results of Ducharme and Crawley when
compared to our method for a range of rotor speeds (Reference 7). COMODE2DPK
predicts mode coalescence flutter frequency within 7% and critical rotor speed within
8% of the experimental values.
Figure 6 shows the predicted aerodynamic damping versus rotor speed. The
damping in this report is presented as critical damping ratio (ζ). Negative values of ζ
imply instability. Critical damping ratio is calculated from the complex aeroelastic
frequency and is defined as:
(11)

13

Figure 6 shows that the critical rotational speed is seen to be approximately 52
Hz as predicted by COMODE2DPK. Note that in Figure 6 (and all subsequent damping
figures) the damping value is selected by finding the minimum damping value for each
rotor speed for all interblade phase angles.
Figure 7 presents a plot of damping vs. interblade phase angle for a mass ratio of
22 and a rotor speed of 55 Hz. Ducharme and Crawley reported the worst interblade
phase angle as 90 degrees for their analytical model. To compare, our method similarly
predicts the lowest damping at 90 degrees. Therefore, these results suggest that the
present method adequately models the M4F1 case and is valid for solidity, mass ratio,
and frequency separation studies.
Finally, Figure 8 shows the critical damping ratio versus rotor speed for various
interblade phase angles. For this plot, the most negative value of damping is plotted for
each of the interblade phase angles for a given rotor speed. The plot shows that the
interblade phase angle with the most negative value of damping changes with rotor
speed. The plot also shows that 90‐degrees interblade phase angle is critical for the
Ducharme/Crawley case. This β value is in agreement with their analytical model.

14

Figure 5: Campbell Diagram of M4F1 | Experimental, and COMODE2DPK

Figure 6: Predicted Critical Damping Ratio vs. Rotor Speed
15

Figure 7: Predicted ζ vs. β for the M4F1 Blade | Ω = 55 Hz

Figure 8: Predicted Mode 2 ζ vs. Ω for various β | μ = 22
16

2.4 The Effect of Mass Ratio
Since typical mass ratios for open‐rotor blades are between 20 and 100, mass
ratios of 22, 26, 30, 35, and 50 were studied. A mass ratio of 100 was also investigated,
but showed almost no mode‐coalescence. The mass ratio of 22 was chosen because it is
the actual mass ratio for the M4F1 blade (Reference 7) at 80% span. Other mass ratios
were artificially created by varying the density of the blade in the computational model
(COMODE2DPK).
The mass ratio, μ, is defined as the ratio of the mass of the structure to the mass
of the surrounding air and is given by:
(12)
where b is the semi‐chord of the blade and Δr is the hub‐to‐tip distance of the
blade.
The unsteady aerodynamic forces result in aerodynamic damping and a change
in the frequency for the two input modes. From previous experience (Reference 4) it is
known that the aerodynamic forces are approximately inversely proportional to the
mass ratio. Therefore, it is possible to generalize the coupling effects on frequency and
damping. Figure 9 shows a predicted Campbell diagram in which the rotor speed has
been normalized by the square root of mass ratio.
differently in Figure 10.

To explain, this data is plotted

Here, a non‐dimensional frequency shift, defined as the

fractional change in the frequency due to the unsteady aerodynamic forces, is plotted
17

against the rotor speed. Both the abscissa and ordinate are normalized by the square
root of mass ratio. Thus, the frequency of the first mode increases and that of the second
mode decreases as rotor speed increases.

Therefore, the mode frequencies tend to

approach each other.
Similarly, Figure 11 shows the damping vs. rotor speed for various mass ratios.
From this figure an important result emerges; the rotational speed for flutter,
normalized by the square root of the mass ratio, is approximately independent of mass
ratio and occurs when rotor speed normalized by the square‐root of mass ratio equals
roughly 10.75.

Figure 9: Campbell Diagram for various Mass Ratios
18

Figure 10: Non‐Dimensional Frequency vs. Normalized Rotor Speed

Figure 11: Critical Damping Ratio vs. Rotor Speed for Various μ
19

2.5 The Effect of Frequency Separation
To determine the effect of frequency separation on critical rotational speed, the
frequency of the second mode was artificially increased or decreased over the range of
desired rotor speeds. The nominal frequency of the second mode (f2) was multiplied by
a factor so that it was 10, 20, or 35 percent higher or lower than nominal. Figure 12
shows the in vacuum frequency adjustment to mode 2 for various rotor speeds. It was
hypothesized that the critical rotor speed for flutter would be lowest when the modes
were the closest together and that the critical rotor speed would be the greatest when the
modes were the furthest apart. To test this hypothesis, each of the in vacuum frequency
profiles were run through COMODE2DPK and the flutter boundary was found.
The effect of frequency separation on flutter can be seen in Figure 13. The
ordinate is the critical damping ratio multiplied by the square root of the mass ratio. The
abscissa shows the rotor speed, again normalized by the square root of the mass ratio. A
negative critical damping ratio implies flutter (Equation 11). From the figure it is shown
that the critical rotational frequency for flutter is lowest when the in vacuum frequencies
are the closest together (‐35% case). As the frequency separation is increased, the critical
rotational velocity increases. Therefore, the hypothesis about the effect of frequency
separation on coupled‐mode flutter has been verified. This conclusion makes intuitive
sense because one would think that mode coalescence would be aided by in vacuum
frequencies which begin close together.

20

Figure 12: In Vacuum Frequency Changes to Mode 2

Figure 13: Mode 2 Normalized ζ vs. Normalized Ω | μ = 22
21

2.6 The Effect of Solidity and Single vs. Multi-Mode Flutter
Now we will extend and modify this case to determine the conditions under
which a single mode flutter analysis is sufficient. The following parameters were held
fixed in these studies: xα, rα, a, ξ, and mode shapes. In addition, the in vacuum torsion
mode frequency, ωα, was held constant at the value for which flutter occurred in the
Reference 7 experiment. All other parameters were varied. Velocity and Mach number
were treated as independent parameters. As expected it was found that the subsonic
compressibility effect can be accurately represented by:
1

(13)

As a result, the remainder of critical reduced velocities is presented with this
fluid‐compressibility correction, which is most important for high Mach numbers.
First, flutter analysis was performed using a single mode and assuming that the
aeroelastic frequencies are the same as the in vacuum frequencies. Since the frequency is
assumed not to change due to the air, the flutter point is not affected by the mass ratio of
the blade. Therefore, Figure 14 shows this corrected critical flutter speed as a straight,
dashed line (independent of μ). This design method would be aggressive flutter
prediction since it will give a larger than actual corrected critical reduced velocity for
flutter.
Next, single mode (uncoupled) flutter analyses was performed by forcing the off
diagonal terms in the unsteady aerodynamic matrices (Ma, Ba, Ka) to be zero. The critical
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corrected reduced velocities were then determined for a range of mass ratios, frequency
separations and solidities. Since pure‐bending flutter does not occur using the
aerodynamic theory of Whitehead (Reference 15), the uncoupled flutter will only occur
in the second mode.

The dashed, curved lines of Figures 14, 15, and 16, show the

dependence of reduced velocity on mass ratio and solidity for a given frequency
separation. This type of analysis is common in industry flutter prediction today.
Next the multi‐mode coupled analysis was performed for a range of solidities,
frequency separations and mass ratios with the results shown in Figure 14, 15, and 16 as
solid lines. By comparing the results of the uncoupled and coupled analysis in Figure
14, a “critical” mass ratio can be determined (for each solidity) for which a single mode
analysis would have a small error (assumed to be 10%). That is, for mass ratios above
this critical value, a coupled mode analysis is not necessary. These critical mass ratios
are plotted in Figure 17 as a function of solidity.
For higher solidities, represented of existing turbomachinery blades, the critical
mass ratio is less than 50. Since the mass ratios of solid titanium blades are significantly
higher than 50, a single mode flutter analysis is sufficient.

For lower solidities,

representative of propellers, helicopter blades and wings, the critical mass ratio is
greater than 100, which is significantly higher than the actual mass ratios. As expected a
multi‐mode flutter analysis is required. For the advanced technology “open rotor”
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blades currently under development, the technique presented in the paper can be
applied to determine the appropriate type of flutter analysis.
The reader is reminded that results of the studies in the report assumed 2D
analysis with unloaded, subsonic airfoils. The first and second modes are pure bending
and torsion (a=‐0.25).

The results and conclusion should be limited to applications

matching these assumptions. In Chapter 3, the method will be extended by considering
3D, unloaded, airfoils with a variety of mode shapes.
For Figures 14, 15, and 16, the Corrected Critical Reduced Velocity

versus

Mass Ratio (μ) is presented for a variety of solidities (σ), and frequency separations.
These plots show the effect of mass ratio, frequency separation, and solidity on critical
reduced velocity.
Looking simultaneously at the three figures, a trend for each parameter can be
identified. As discussed earlier, as the mass ratio increases, the
flutter analysis approaches the

for multi‐mode

for single‐mode flutter analysis. In other words,

multi‐mode flutter analysis is not necessary for high mass ratio blades. Further, as the
frequency separation increases, the difference between

for multi‐mode analysis and

for single‐mode analysis decreases. This decrease implies that for large frequency
separations, the need for multi‐mode flutter analysis decreases. Both of these
conclusions are in agreement with the observations and conclusions from sections 2.4
and 2.5. The effect of solidity is equally important. As the solidity increases, the
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difference in

for single mode and multi‐mode analysis decreases. This observation

implies that multi‐mode flutter analysis is important for low solidities.
In addition to aiding in understanding the underlying physics behind coupled‐
mode flutter, COMODE2DPK can be used as a preliminary design tool (Figure 17). For
each frequency separation, and solidity (Figures 14‐16) a critical mass ratio can be
defined by identifying the mass ratio at which the difference between the single‐mode
and the multi‐mode

is a certain percentage. This percentage should be calibrated

as the tool is used. If a 10% difference in

is applied, then the result is Figure 17. In

practice, a blade with a given μ, Δω , and σ, can be plotted, and classified as a candidate,
or non‐candidate, for multi‐mode flutter analysis.

2.7 Conclusions from 2D Analysis | COMODE2DPK
The results of this research study indicate that mass ratio, frequency separation,
and solidity have an effect on critical flutter rotor speed and reduced velocity. Higher
mass ratio blades require higher rotational velocities before they experience coupled‐
mode flutter. Eventually, the mass ratio becomes high enough that the modes will no
longer coalesce. Similarly, increasing the frequency separation between modes and
increasing the solidity increases the critical rotor speed. The objective of this work was to
generate guidelines for defining when a multi‐mode flutter analysis is required. These
guidelines were developed by defining a critical mass ratio that is a function of
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frequency separation and solidity. For mass ratios lower than this critical value a multi‐
mode flutter analysis is required.
In this study, mass ratio, frequency separation, and solidity were changed for a
fan blade whose dynamics were modeled with a two‐dimensional structural model and
two‐dimensional, flat plate, subsonic, aerodynamic theory. Consequently, the results
have a limited applicability but provide an understanding of the influential parameters.
The next chapter of this thesis extends the two‐dimensional method to include both
three‐dimensional structural and three‐dimensional unsteady aerodynamic models.

26

Figure 14:

vs. μ for various σ | ∆

.

Figure 15:

vs. μ for various σ | ∆

.
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Figure 16:

vs. μ for various σ | ∆

.

Figure 17: Critical μ for Single‐Mode Flutter Analysis
Assuming 10% Error between Single‐Mode and Multi‐Mode Analysis
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Chapter 3: Three-Dimensional Modeling of CoupledMode Flutter
To more accurately model the real mode shapes and aerodynamics of the 3D
blade, a new code was developed. The code, MOSAIC, was built by collecting and
compiling many existing subroutines, hence the name. Ultimately, MOSAIC improves
upon COMODE2DPK by incorporating real blade geometry, real mode shapes, and two‐
dimensional strip theory to find the aerodynamics out‐the‐span of the blade.

3.1 Overview of MOSAIC
An overview of MOSAIC is given to make clearer the inner workings of the code.
The first important subroutine inside MOSAIC is called FECLOPS. FECLOPS is a
subroutine built to read output information from a finite element package. For example,
FECLOPS will read the three‐dimensional blade geometry, and split the blade into
multiple spanwise sections. FECLOPS includes a RIGIDBODY subroutine, which looks
at each of these spanwise sections and determines the leading‐edge and trailing‐edge
locations, and the rigid‐body mode shapes.
Next, the leading‐edge, trailing‐edge, and rigid‐body‐mode‐shape information is
passed to a subroutine called LINSUB. The LINSUB subroutine solves the 2D subsonic,
flat‐plate, cascade, aerodynamics, ultimately delivering the lift and moment coefficients
in the mass, stiffness, and damping matrices. As part of LINSUB, a p‐k method of
iterating on the frequency is used to accurately include aeroelastic frequency. LINSUB
aerodynamics, the two‐dimensional structural theory, and the p‐k iteration scheme are
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the same schemes that were used in COMODE2DPK and are described in Chapter 2 of
this report.

3.2 Three Dimensional Structural and Aerodynamic Modeling
To develop the three‐dimensional complex Eigenvalue problem, the typical
section model was again used for the structural model while LINSUB theory was again
used for the aerodynamics of each section. To achieve the desired three‐dimensional
aerodynamics, strip theory was employed to determine the aerodynamics out the span
of the blade (References 1,6).
The original complex Eigenvalue problem described in Chapter 2 was limited to
two modes, where the first mode had to be a pure bending mode. In addition to adding
a third dimension to the problem, MOSAIC also added the capability of completing
multi‐mode analysis, for any mode shape.
Without aerodynamics, the three‐mode Eigenvalue problem is:
0

(14)

(15)
…
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where s is the number of spanwise sections,

and

is a bending mode, and

are the pitching modes. The natural frequencies of m mode shapes (orthonormalized) are
determined from Finite Element Analysis (FEA). The natural frequencies and their
corresponding Eigenvectors are:
,

, … ,

Next, the Transposition matrix

for m modes.

, is formed from the column eigenvectors.

…
Solving the 3D Modal Eigenvalue Problem, the transposed coordinate is

(16)

…

Next, the aerodynamics is re‐introduced to the Eigenvalue problem:
(17)
Substituting the transformed coordinate, the Eigenvalue problem becomes:
(18)
Multiplying both sides by

, the mass, stiffness, and force matrices become

modal stiffness, modal mass, and modal force matrices (Equations 20, 21, and 22).
(19)
(20)
(21)
(22)
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0
The stiffness matrix

(23)

is uncoupled; the diagonal terms of the matrix are the in‐

vacuum blade frequencies of each of the modes. Similarly, the mass matrix

is

uncoupled; each of the entries in the diagonal terms of the mass matrix is unity.
Therefore, Equation 23 represents the complex eigenvalue problem that needs to be
solved for the complex aeroelastic frequency of each of the modes.

3.2.1 Typical Section – Structural Model
Starting with the typical sections model, the interaction between plunging and
pitching modes is modeled the same way as they were presented in Chapter 2.
However, by adding more modes, a model must be developed for the interaction of two
pitching modes with different elastic axes. The system is aerodynamically coupled, but
not mass coupled and is represented by the following 3‐mode Eigenvalue problem:
0
0
0

0

0
0

0
0

0

by defining

0
0

(24)

0

(radius of gyration) as:
(25)

the Eigenvalue problem becomes equation 26 with proper substitution.

1
0
0

0
1
0

0
0
1

0
0
0

0
0

(26)

0
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Simple harmonic motion for the motion of the blade is assumed by defining the
blade angle, α as a function of time:
(27a)
(27b)
(27c)
0
0
0

0
0

(28)

0

The right‐hand side of the equation (LINSUB aerodynamics) is described in
Chapter 2 and in section 3.2.2. The moment is being taken about the leading edge using
the LISBUB coordinate system with pitching about the leading edge.

3.2.2 LINSUB – Aerodynamic Model
To determine the aerodynamics of the system, Whitehead’s LINSUB
aerodynamic theory was again used. Since the influence coefficients of the aerodynamics
matrix are dependent on the aeroelastic frequency, the problem has to be solved
iteratively. The p‐k method was again used to solve the problem. For more information
about Whitehead’s theory and the p‐k iterative technique, see Chapter 2, Ref. 9 and 15.

3.2.3 Strip Theory Aerodynamics
To get the aerodynamics out the span of the blade, aerodynamic strip theory was
employed. In strip theory, the blade is sliced into several sections (like a loaf of bread),
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creating many two‐dimensional cross sections of the blade (Reference 1). The
aerodynamics of each of the sections is then determined individually. Finally, their
forces and moments are summed out the span of the blade. The strip theory
aerodynamics featured in MOSAIC is a significant improvement from the representative
cross section approach in COMODE2DPK because it better models the entire blade.
The force matrix,

is determined by the following square matrix:

0
0
0
0
0
0
0

0
0

0
0
0
0
0

0
0
0

0
0
0
0

0
0
0
0
…
0
0

0
0
0

0
0
0
0
0

0
0
0
0
0
0

(29)

0

where m is the number of modes and N is the number of strip theory sections.
Inside the

matrix, each of the [m x m] elements is fully populated since the modes

are coupled. However, the aerodynamics of each of the strips does not influence the
adjacent strips, hence, the zero matrices in the off‐diagonal slots. For 3 modes, the [mxm]
matrix is:
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,

2

,
,
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,

,

4

,

,

,

2

,

,

4

,

,

,

2

,

,

(30)

The details of the influence coefficients can be found is Whitehead’s
documentation (Reference 15). Also, this model can be generalized to more modes.
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Once the problem is switched to modal, the mass matrix

is unity down the

diagonal (a product of assuming the mode shapes are orthonormal) and zero on the off
diagonal, the stiffness matrix

is the in‐vacuum frequencies down the diagonal, and

the aerodynamic force matrix

is fully populated.

The switch to modal is completed by defining the α motion as a sinusoidal
function of time:
(31)
(32)
(33)
Note that the original stiffness matrix,

, is not actually examined for this

application. The aeroelastic frequencies are solved for after forming the modal stiffness
matrix, therefore the content in the original stiffness matrix is not required.

3.2.4 Structural Damping
Another addition to MOSAIC was the incorporation of structural damping into
each mode. In his report, Ducharme experimentally finds a structural damping value of
1.2 % in the first bending mode. This value of structural damping is assumed for each of
the modes.
The incorporation of structural damping will make the blade more stable;
therefore, assuming no structural damping would be a conservative estimate. However,
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since the measured value of structural damping for the M4F1 case is known, it was
incorporated into the model for each of the modes.

3.2.5 Aerodynamic Force Roll-Off
MOSAIC also incorporates a tip‐force‐roll‐off condition. This condition rolls off
the forces on the blade so that the force at the tip is zero. For a two‐dimensional case
(infinite span blade), tip effects are not modeled. For actual airfoils, the change in
pressure between the suction side and the pressure side at the tip of the blade is zero.
Therefore, there are no forces at the tip of the blade. Ducharme uses an elliptical force
roll‐off of these forces, starting at 55% span. Figure 18 shows the spanwise roll‐off factor
as used by Ducharme; this parameter was adjusted in MOSAIC, though the same
elliptical profile was used.

Figure 18: Force Roll‐Off vs. Percent Span
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3.3 Convergence Studies
To model this problem, a 3D airfoil is being broken down into spanwise sections.
Each of these spanwise sections is considered to be a flat plate, defined by a number of
chordwise points. To ensure the accuracy of the aerodynamics, a study was conducted
to determine the number of chordwise points on the flat‐plate until convergence of
output influence coefficients was reached. Similarly, a study was conducted to
determine the number of spanwise sections required to achieve aeroelastic frequency
and critical damping ratio convergence by aerodynamic strip theory. Figure 18 is a
cartoon representation of these blade divisions. Each section in strip theory uses a two‐
dimensional structural model and two‐dimensional LINSUB aerodynamics described in
Chapter 2.

Figure 19: Cartoon Representation of Blade Divisions
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3.3.1 LINSUB Number of Points Study
To determine the number of points required to achieve convergence for the
LINSUB aerodynamics, the convergence of the CMα term was monitored. The CMα term
was chosen because it looked to be the most volatile of the four LINSUB aerodynamic
coefficients, though the other coefficients were similar. For this investigation,
convergence was achieved when the coefficient had converged within 0.2% of the final
converged value.
Figure 20 shows the convergence of CMα versus the number of points. The figure
shows clearly that, for this particular combination of Mach number, reduced frequency,
and solidity, the required number of points to achieve convergence is achieved around
13 points.
A range of Mach numbers, reduced frequencies, and solidities were investigated.
It was found that higher Mach numbers required more points to achieve convergence.
Similarly, higher reduced frequencies required more points. Solidity had little effect on
the number of required points. Figure 21 shows the effect of changing just the Mach
number from 0.3 to 0.8 (compare with Figure 20). The number of points required for the
M = 0.8 case is 18 points, instead of 13 points for the M = 0.3 case.
Figure

22

summarizes

the

findings

of

this

LINSUB‐number‐of‐points

investigation. The figure shows that higher Mach numbers require more points, as do
higher reduced frequencies.
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Figure 20: LINSUB Convergence Studies | Low Mach Number

Figure 21: LINSUB Convergence Studies | High Mach Number
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Figure 22: LINSUB Aerodynamics Number of Points Convergence Check

For the application of MOSAIC to the M4F1 blade, the Mach number is low (0.3)
and the reduced frequency is low (order 1). Therefore, the number of points required the
achieve LINSUB convergence is fewer than 10 points. To be conservative, no fewer than
20 points were used to define each spanwise section of the airfoil. This parameter would
need to be increased for applications with higher reduced frequencies like forced
response problems. Similarly, the number of points for LINSUB aerodynamics may need
to be increased for applications with higher Mach numbers.
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3.3.2 Number of Panels Study – Strip Theory Convergence
After the number of points for LINSUB convergence had been determined, it was
necessary to determine the number of spanwise sections required to achieve
convergence. Figure 23 shows the aeroelastic frequency versus the number of sections
out the span of the airfoil. For M = 0.3, reduced frequency = 0.3, and solidity = 0.3, the
number of sections required is 20 sections. Similarly, Figure 24 shows the damping for
mode 2 versus the number of sections. Again convergence is reached after 20 spanwise
sections.

3.3.3 Convergence Study Conclusions
To summarize the convergence studies, it was found that for low Mach numbers,
low reduced frequencies, and a range of solidities, a minimum of 10 points should be
used to define the flat‐plate for LINSUB aerodynamics. Further, for this application of
strip theory, a minimum of 20 spanwise sections should be used. Therefore, for this
investigation, a minimum of 20 points and 20 spanwise sections were used.
Though both of these parameters ensured convergence, the total run time for
each case increases with the number of points and the number of spanwise sections.
This conservative approach was fine for this application since the total run time for each
case was of order minutes. However, a more careful optimization exercise should be
conducted for larger problems to find the convergence limits for a different problem.
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Figure 23: Strip Theory Convergence Study

Figure 24: Strip Theory Convergence Study
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3.4 Extruded Blade Results
To validate the three‐dimensional code, an extruded blade cross‐section was first
compared with the two‐dimensional results. To make this comparison, the 80% span
cross‐section was extruded to create a three‐dimensional blade, and MOSAIC was run.
Since there is no radial blade variation, the results are expected to match the results of
the two‐dimensional study.
Figure 25 shows the first mode’s aeroelastic frequency vs. interblade phase angle
for a fixed rotational speed of 55 Hz. This rotor speed was chosen because it was known
to flutter using COMODE2DPK. The first mode frequencies between the two models are
very close – they match well in shape but MOSAIC under predicts the first mode
aeroelastic frequency by approximately 10 Hz for IBPA.
Figure 26 shows the first mode’s critical damping ratio vs. interblade phase angle
for a fixed rotational frequency. Again, the shape of the damping curve for mode 1 is
similar between COMODE2DPK and MOSAIC but the values do not exactly agree. Both
of these discrepancies show how the subtle differences in setting up each of the two
models manifest themselves.
Figure 27 shows the second mode aeroelastic frequency vs. interblade phase
angle and Figure 28 shows the second mode critical damping ratio vs. interblade phase
angle. Notice that COMODE2DPK and MOSAIC agree very well for mode 2. These
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findings suggest that MOSAIC is ready be used for three dimensions and multiple
modes.

Figure 25: Mode 1Aeroelastic Frequency vs. Interblade Phase Angle

Figure 26: Mode 1 Critical Damping Ratio vs. IBPA
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Figure 27: Mode 2 Aeroelastic Frequency vs. Interblade Phase Angle

Figure 28: Mode 2 Critical Damping Ratio vs. IBPA
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3.5 Multi-Mode Results | MOSAIC
3.5.1 Multi-Mode | No Structural Damping ( ) or Force Roll-Off
When executing MOSAIC multiple parameters need to be set. First, the structural
damping of each mode needs to be assigned; the value of structural damping for the first
mode is assumed to be the value of structural damping for all modes. Next, the percent
span at which force roll‐off occurs needs to be set. This parameter elliptically rolls off the
force so that the magnitude of the force at the tip of the blade is zero. Once these
parameters are set, MOSAIC can be executed to obtain the complex aeroelastic
frequencies for each of the modes.
First, MOSAIC was executed with structural damping and force roll‐off set to 0.
The results are shown in Figures 29 and 30. Figure 29 is a Campbell Diagram showing a
comparison between Ducharme’s Experimental data (averaged) vs. the analytical
predictions of MOSAIC. The results indicate that with no structural damping or tip‐force
roll‐off, MOSAIC is modeling the coalescence between modes 1, 2, and 3, predicting
instability in mode 3 (39 Hz rotor speed, 197 Hz aeroelastic frequency).
Figure 30 shows the critical damping ratio for each of these three modes vs. rotor
speed. As rotor speed increases, the first two modes become more stable, while the third
mode becomes more unstable. When the third mode reaches a negative value of ζ, it is
unstable and has reached its flutter point. To improve the model, structural damping
and tip‐force roll‐off will be added; these results are shown in section 3.5.2.
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Figure 29: Campbell Diagram β = 0 |

.

Figure 30: ζ vs. Ω |
47

.

| No Force Roll‐off

| No Force Roll‐off

3.5.2 Multi-Mode Flutter Analysis with Structural Damping and Force
Roll-off
To match Ducharme’s results, the structural damping for each of the modes was
set to 1.2%. The 1.2% structural damping value choice is justified because this parameter
was experimentally measured by Ducharme. The 1.2% structural damping value was
assumed for all three modes, which is a decent approximation. However, the force roll‐
off parameter is less well defined. According to Ducharme’s analytical model, to match
the flutter point he used an elliptical force roll‐off at the tip beginning around 55% span.
For MOSAIC to match the experimental flutter boundary the force roll‐off parameter
was set to 95%.
Figure 31 shows the Campbell Diagram for modes 1, 2, and 3. MOSAIC is
predicting mode coalescence between modes 1, 2, and 3, and predicts a flutter in mode 3
at 47 Hz rotor speed where the critical damping ratio of mode 3 becomes negative
(Figure 33). An interblade phase angle of 0 degrees is shown for each of these results.
Comparing β = 270 (Figures 32 and 34) shows the effect of interblade phase angle
on aeroelastic frequency and damping. For this particular IBPA, the critical rotor speed
is slightly lower than for the β = 0 case (46 Hz rotor speed). Since this particular
interblade phase angle has the lowest rotational speed for flutter, it is assumed to be the
least stable and is compared with Ducharme’s experimental results.
Figures 31 and 32 directly compare Ducharme’s experimental results with the
predictions of MOSAIC. Experimentally, the second mode is more strongly coalescing
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with the first mode than is predicted by MOSAIC, resulting in lower aeroelastic
frequencies than predicted by MOSAIC. However, since the experimental interblade
phase angle is not indicated, a better comparison between experiment and analysis may
be made by plotting the range of aeroelastic frequencies from each interblade phase
angle. Figure 35 is a Campbell Diagram showing this frequency range due to interblade
phase angle effects. The figure shows the maximum and minimum aeroelastic
frequencies for the first, second, and third modes for all interblade phase angles.
Figure 36 and 37 show why 270 degrees is the critical interblade phase angle.
Figure 36 is a plot of mode 3 critical damping ratio versus rotational speed. It shows that
as rotor speed is increased, 270 degrees interblade phase angle is the first to go unstable
(45 Hz rotor speed). Further, the figure shows the influence of IBPA on critical rotor
speed; as the interblade phase angle changes, so does the critical rotor speed for flutter.
Figure 37 is a plot of damping vs. IBPA for a fixed rotor speed (Ω=50 Hz). In this plot,
there are three different interblade phase angles that are very unstable (0, 270, and 315).
Finally, Figures 38 shows the strong influence the force roll‐off parameter has on
the flutter boundary. As the force roll‐off point is brought closer to the hub, the flutter
boundary of mode 3 is increased. Looking back at the mode shape contours of the M4F1
blade (Figure 3), one can see that a large portion of the blade motion occurs at the tip,
especially in mode 1. Therefore, by reducing the aerodynamics forces at the tip, one is
stabilizing the blade by reducing the overall motion.
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Figure 31: Campbell Diagram β=0 | MOSAIC

Figure 32: Campbell Diagram β = 270 | MOSAIC
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Figure 33: ζ vs. Ω | β=0 | MOSAIC

Figure 34: ζ vs. Ω | β=270 | MOSAIC
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Figure 35: Campbell Diagram | All IBPA | MOSAIC

Figure 36: Mode 3 ζ vs. Ω | All IBPA | MOSAIC
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Figure 37: Mode 3 ζ vs. β| Ω = 55 Hz | MOSAIC

Figure 38: Mode 3 ζ vs. β | Various Force Roll‐off Conditions | MOSAIC
53

3.5.3 Comparisons to Ducharme’s Analytical Model
In addition to experimental aeroelastic testing of open rotor fans, Ducharme also
developed an analytical model for predicting the onset of flutter. MOSAIC was
structured around the same fundamentals principles contained in Ducharme’s model,
i.e., the “Typical Section” structural model, LINSUB aerodynamics and strip theory to
integrate the aerodynamics out the span of the blade. Like MOSAIC, Ducharme’s model
contained structural damping (

1.2%) and had an elliptical force roll‐off at the tip.

However, there are two major areas where MOSAIC and Ducharme’s model differ.
First, Ducharme uses a sweep correction for his incoming velocities. This sweep
correction is made to normalize the flow coming onto the leading edge of the wing.
However, for this particular set of mode shapes, the author felt that a sweep correction
was not appropriate. Therefore, MOSAIC does not employ the sweep‐angle correction
like Ducharme (Reference 7).
Second, to match the experimental flutter boundary, Ducharme uses a very large
force roll‐off at the tip of the blade (the force roll‐off starts at 55% span). In contrast, to
match the experimental findings of Ducharme, MOSAIC uses 95% span as its force roll‐
off start. These two differences manifest themselves as differences in predictions from
our analytical models.
Figure 39 shows Ducharme’s analytical prediction of the aeroelastic frequencies
for modes 1, 2, and 3, for the M4F1 blade. The dashed lines are the analytical predictions
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when compared to the experimental results (data points). In his model, Ducharme
predicts flutter in the second mode (approximately 160 Hz) and at 51 Hz rotor speed.

Figure 39: Ducharme’s Analytical Model Compared with Experiment

Compare Ducharme’s model with MOSAIC. Figure 40 puts the two analytical
models on the same plot, along with the in vacuum frequencies of the first three modes.
MOSAIC predicts a flutter rotational speed that is lower than Ducharme’s critical rotor
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speed, but has a different force roll‐off condition and no sweep correction. MOSAIC also
predicts the flutter in the third mode, at an aeroelastic frequency of 207 Hz. Therefore,
both models are forced to make fine adjustments to their parameters to match the
experimental rotor speed of flutter. Both MOSAIC and Ducharme are able to predict the
flutter rotational speed, though only under a certain set of parameters. Finally,
Ducharme’s model more accurately predicts the frequency of flutter, but both models
over estimate the aeroelastic frequency.

Figure 40: Analytical Model Comparisons between Clark and Ducharme
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3.6 MOSAIC Conclusions
The development of a three‐dimensional coupled‐mode flutter tool was
completed. This tool, called MOSAIC, can accept any blade geometry, any mode shape,
and can incorporate any number of modes. To achieve this, two‐dimensional structural
and LINSUB aerodynamic theory is used for each spanwise section of the real three‐
dimensional airfoil. Aerodynamic strip theory is then used to get the total spanwise
information after calculating the sectional information. Ultimately, MOSAIC solves a
complex eigenvalue problem by iteratively solving for the aeroelastic frequency and
damping of each mode. The p‐k method is used to iteratively solve.
For the M4F1 blade, MOSAIC predicts flutter in mode 3. The flutter boundary
varies significantly with interblade phase angle, structural damping, and force roll‐off
parameters. To match the experimental results of Ducharme et al, the force roll‐off was
set to 95%, the structural damping was 1.2%, 20 sections were used for the strip‐theory
model and 20 points were used in defining the flat‐plate LINSUB aerodynamics.
Although MOSAIC accurately predicts the critical rotational speed for flutter (47
Hz), this flutter boundary was forced by altering the force roll‐off parameter. For the
conditions at which MOSAIC matches Ducharme, MOSAIC overestimates the aeroelastic
frequency of this flutter. To expand on this point, the aeroelastic frequency of flutter (207
Hz) was higher than measured by Ducharme (135 Hz). Therefore, MOSAIC over
predicts the flutter frequency by 55%.
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These conclusions offer insight about the uses and limitations of aerodynamic
strip theory. To accurately predict the flutter speed, the force roll‐off parameter was
adjusted until the critical flutter speeds matched the experimental results of Ducharme.
This conclusion shows how sensitive the force roll‐off parameter is, and how the effects
of the tip of the blade can dominate the stability of the overall system. To achieve a true
representation of coupled mode flutter for advanced turbofans, Computational Fluid
Dynamics (CFD) simulations need to be completed so that the conditions at the tip of the
blade are better modeled. Further, the force roll‐off itself is only an approximation of the
actual physics. Though the magnitude of the force at the tip is zero, the phase is never
accounted for in this model.

Finally, in MOSAIC, the structural damping value is

assumed to be constant and equal for each of the modes. In actuality, each of the modes
has its own structural damping value, which would adjust the critical rotor speed for
flutter.
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Chapter 4: Conclusions and Future Work
4.1 Conclusions from 2D Analysis – COMODE2DPK
The results of this two‐dimensional research study using COMODE2DPK
indicate that mass ratio, frequency separation, and solidity have an effect on critical
flutter rotor speed and reduced velocity.

Higher mass ratio blades require higher

rotational velocities before they experience coupled‐mode flutter. Eventually, the mass
ratio becomes high enough that the modes will no longer coalesce. Similarly, increasing
the frequency separation between modes and increasing the solidity increases the critical
rotor speed. The objective of this work was to generate guidelines for defining when a
multi‐mode flutter analysis is required. These guidelines were developed by defining a
critical mass ratio that is a function of frequency separation and solidity. For mass ratios
lower than this critical value a multi‐mode flutter analysis is required. It should be noted
that this critical mass ratio changes for different maximum discrepancies between single‐
mode and multi‐mode analysis. For this study, 10% difference was used.
Mass ratio, frequency separation, and solidity were changed for a fan blade
whose dynamics were modeled with a two‐dimensional structural model and two‐
dimensional, flat plate, subsonic, aerodynamic theory. Consequently, the results have a
limited applicability.
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4.2 Conclusions from 3D Analysis – MOSAIC
The development of a three‐dimensional coupled‐mode flutter tool was
completed. This tool, called MOSAIC, can accept any blade geometry, any mode shape,
and can incorporate any number of modes. To achieve this, two‐dimensional structural
and LINSUB aerodynamic theory is used for each spanwise section of the real three‐
dimensional airfoil. Aerodynamic strip theory is then used to get the total spanwise
information after calculating the sectional information. Ultimately, MOSAIC solves a
complex eigenvalue problem by iteratively solving for the aeroelastic frequency and
damping of each mode. The p‐k method is used to iteratively solve.
For the M4F1 blade, MOSAIC predicts flutter in mode 3. The flutter boundary
varies significantly with interblade phase angle, structural damping, and force roll‐off
parameters. To match the experimental results of Ducharme et al, the force roll‐off was
set to 95%, the structural damping was 1.2%, 20 sections were used for the strip‐theory
model and 20 points were used in defining the flat‐plate LINSUB aerodynamics.
Although MOSAIC accurately predicts the critical rotational speed for flutter (47
Hz), this flutter boundary was forced by altering the force roll‐off parameter. For the
conditions at which MOSAIC matches Ducharme, MOSAIC overestimates the aeroelastic
frequency of this flutter. To expand on this point, the aeroelastic frequency of flutter (207
Hz) was higher than measured by Ducharme (135 Hz). Therefore, MOSAIC over
predicts the flutter frequency by 55%.
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These conclusions offer insight about the uses and limitations of aerodynamic
strip theory. To accurately predict the flutter speed, the force roll‐off parameter was
adjusted until the critical flutter speeds matched the experimental results of Ducharme.
This conclusion shows how sensitive the force roll‐off parameter is, and how the effects
of the tip of the blade can dominate the stability of the overall system. To achieve a true
representation of coupled mode flutter for advanced turbofans, Computational Fluid
Dynamics simulations need to be completed so that the conditions at the tip of the blade
are better modeled. Further, the force roll‐off itself is only an approximation of the actual
physics. Though the magnitude of the force at the tip is zero, the phase is never
accounted for in this model.

Finally, in MOSAIC, the structural damping value is

assumed to be constant and equal for each of the modes. In actuality, each of the modes
has its own structural damping value, which would adjust the critical rotor speed for
flutter.

4.3 Future Work
The author recommends the following future work to expand upon MOSAIC’s
capabilities. First, MOSAIC needs more validation. An analytical or computational fluid
dynamics simulation of a different blade would help to validate the model by providing
another case study. It would also help to ensure the proper modeling of the physics of
coupled‐mode flutter.
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Second, mass ratio, frequency separation, and solidity studies should be
completed to improve the preliminary design tool presented in Chapter 2 of this report.
It is hypothesized that the two‐dimensionality of the problem is too conservative
because it does not take into account the entire blade geometry or the entire blade mode
shape. Therefore it is expected that the results of these three‐dimensional studies will be
less conservative than the two‐dimensional studies.
Third, MOSAIC currently was developed with subsonic aerodynamics. In reality,
open‐rotor fan blades have tip Mach numbers in the transonic or supersonic range.
Therefore, it is recommended that for preliminary design use, a transonic or supersonic
aerodynamic code be implemented.
Finally, MOSAIC currently exists as a flutter prediction tool. However, with
some additional work, MOSAIC could be expanded to include Forced Response
capabilities. As mentioned in the opening paragraph of this report, MOSAIC could then
be used to preliminarily investigate two of the three major aeromechanical design
problems.
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